This study compares a hybrid-electric aircraft featuring a propulsive empennage and overthe-wing, distributed-propulsion to a conventional regional turboprop. The impact of multiple design parameters, mission requirements, and technology assumptions on maximum take-off mass and payload-range energy efficiency is evaluated, in order to illustrate the sensitivities of the design. A preliminary sizing method that incorporates aero-propulsive interaction effects is used to obtain rapid estimations. Results show that, for the baseline mission, the hybridelectric variant is 2.5% heavier and consumes 2.5% more energy than the reference aircraft. In this process, several key design guidelines and challenges for distributed-propulsion aircraft are identified. Firstly, when comparing a hybrid-electric configuration to a conventional one, each aircraft must be sized at its optimum cruise altitude for the same payload and range requirements. Secondly, the hypothetical advantages of distributed propulsion described in literature do not easily lead to a benefit at aircraft level, if the aero-propulsive interaction effects and associated dependencies are incorporated in the design process. Thirdly, the power-control parameters affect practically all characteristics of the aircraft, and the optimal control strategy is highly dependent on the aero-propulsive interaction. The results suggest that the proposed configuration can constitute a low-noise alternative for the regional transport market if the performance of the over-the-wing distributed-propulsion system is optimized.
= Sea level p = Propulsor PL = Payload TO = Take-off likely to be detrimental [21] , a partial turboelectric (PTE) architecture is a strong alternative. However, given that the SPPH powertrain is the most generic architecture [22] , it allows the designer to analyze whether a small amount of batteries is beneficial and, if not, then the optimal result will automatically lead to a PTE architecture. In addition to the supposed benefits at aircraft level, there are several reasons for analyzing this concept from a research perspective. In first place, the potential benefits of using of DP for thrust-vectoring in tube-and-wing aircraft have not been analyzed sufficiently. Although there are aircraft concepts which make use of this strategy [9] , information regarding the direct and indirect effects of TV is scarce. In second place, although the use of over-the-wing DP may entail several aerodynamic benefits [23] , no design studies have been found which explicitly include these effects. Due to the multidisciplinary nature of this problem, most design studies assume a constant aerodynamic benefit [1] , ignoring the key sensitivities. Therefore, a thorough analysis of the impact of DP at aircraft level would provide insight into possible areas of improvement, and serve as a starting point for more detailed studies on topics such as aerodynamic performance, noise emissions, power management, or control and stability. To this end, the aircraft is sized and evaluated following the methodology described in Sec. II. The resulting design is then compared to the reference aircraft for a series of design parameters, mission requirements, and technology assumptions in Sec. III.
II. Methodology
A brief overview of the sizing method used for both the reference and the HEP aircraft is given in Sec. II.A. In order to incorporate the effects of DP, the aero-propulsive model described in Sec. II.B is used. While the sizing method is applicable to any tube-and-wing aircraft configuration and any set of performance requirements, the aero-propulsive model is specific for propeller aircraft. Finally, Sec. II.C defines the figures of merit used to evaluate the overall performance of the aircraft.
A. Design Procedure
The top-level weight breakdown, installed power, and wing area of the aircraft are computed using the method described in Ref. [22] . This preliminary sizing method modifies the traditional Class-I sizing routines by including the aero-propulsive interaction effects and a simplified HEP-powertrain model. Due the strong aerodynamic coupling between a DP system and the wing, the changes in lift, drag, and propulsive efficiency are computed for over-the-wing DP using the model described in in the following section. For the propulsive empennage and conventional propellers they are neglected, since the aerodynamic coupling is less severe. When these aerodynamic interaction effects are incorporated in the point performance equations of the power-loading diagram and mission analysis of the aircraft, the impact of aero-propulsive interaction on the propulsive-power requirements and energy consumption can be estimated. The propulsive power is in turn related to the power requirements of each component of the powertrain by applying a power balance across each element while assuming a constant transmission or conversion efficiency. This leads to a separate power-loading diagram for each component in the powertrain, based on which the designer must select a design point in terms of wing loading and power loading. During the mission analysis, the powertrain components are automatically re-sized to meet the power demand if the constraint diagram underestimated the power requirements. This may be the case for specific combinations of mission requirements and power-control variables, and implies that the limiting performance criteria (e.g., top-of-climb climb rate) has not been included in the constraint diagram.
In order to determine the complete behavior of the SPPH powertrain architecture, three power-control parameters must be specified: the gas turbine throttle (ξ GT ), the supplied power ratio (Φ), and the shaft power ratio (ϕ). These are, respectively, defined as
While the gas turbine throttle indicates how much power the gas turbine produces with respect to its maximum capability in a given flight condition, the supplied power ratio describes the power share at the two energy sources. Likewise, the shaft power ratio describes the power share at the two shafts. For a more elaborate description of these variables and their relation to the selected powertrain architecture, the reader is referred to Ref. [22] . For this paper, it is important to note that these three power-control parameters are time-dependent variables, whose profile throughout the mission must be chosen by the designer. The selected values have a direct impact on the aircraft size, since they affect both the constraints in the power-loading diagram, and the energy consumption estimated during the mission analysis. The degree-of-hybridization (of energy) of the aircraft DOH = E bat /(E bat + E f ), meanwhile, is a scalar result of the sizing process. The values of the main design variables, assumptions, and requirements are not explicitly discussed here for brevity, but can be found in Appendix A. Nevertheless, for context, the assumptions made regarding the properties of the powertrain components are presented in Table 1 . The values of specific energy and specific power assumed for the batteries at pack level are commonly used in design studies for the 2035 timeframe, even though these values are considered optimistic given that they approach the maximum theoretical values attainable with lithium-ion batteries at cell level [24] . For the batteries, a minimum state-of-charge of 20% is maintained. The values of specific power and transmission efficiency assumed for the electrical machines and inverters/rectifiers are based on the state-of-the-art research goals presented in Ref. [25] . Since both the thermal management system and additional elements of the power management and distribution (PMAD) system can constitute a significant weight contribution (see e.g. Refs. [9, 14, 26] ), the weight of the electrical systems estimated by the design method-which only includes electromotors, generators, inverters and rectifiers-is increased by 30%. This generic weight penalty is assumed due to a lack of information in the preliminary sizing phase for an accurate estimation of the weight of components such as coolers, transformers, or cables. For this reason, Sec. III.D.1 presents a sensitivity analysis of the assumed component properties. Finally, the thermal efficiency of the gas turbine is assumed to be 0.34 for the reference aircraft. An additional 20% improvement is hypothesized for the 2035 timeframe. Given that the thermal efficiency is kept constant throughout the sizing process, the potential benefit of improved gas turbine performance due to electrical assistance in off-design conditions is not accounted for. The weight of the gas turbines is estimated using the empirical correlation of Ref. [27] . 
B. Aero-Propulsive Model
Two contributions to lift, drag and propulsive efficiency are considered in the sizing method. The simplified breakdown, which is defined in Ref. [22] , can be expressed as
The first term of the right-hand side of Eqs. 4-6 corresponds to uninstalled conditions, that is, to the lift and drag of the airframe when no propulsion system is present, and to the propulsive efficiency of the propulsors if these were operating in freestream conditions. In this study, it is assumed that the airframe lift is generated entirely by the wing. For airframe drag, a parabolic lift polar is assumed, i.e. C D,airframe = C D0,airframe + C 2 L,airframe /(π Ae). Following the traditional Class-I sizing methods [28] , a constant propulsive efficiency is assumed per mission segment for the propulsive empennage, since this propulsion system presents no strong aerodynamic interaction effects with the airframe * . For the DP system, on the other hand, it is necessary to estimate the isolated-propulsor efficiency, in order to account for the sensitivity to propulsor diameter. Given that the total disk area scales with the square of the propulsors' diameter but linearly with the number of propulsors, multiple small propulsors have a significantly lower total disk area than a single large fan or propeller for a given span of wing covered. Hence, if the DP system is responsible for a large fraction of the total thrust, high thrust coefficients are obtained, and consequently the propulsive efficiency deteriorates. Therefore, the propulsive efficiency of the DP system in uninstalled conditions is estimated using
where the thrust coefficient is defined as T c = T p /(ρv 2 D 2 p ), and k p is a correction factor. For k p = 1, Eq. 7 provides the maximum theoretical efficiency of an actuator disk. Since the propulsive efficiency is in reality lower than predicted by momentum theory due to swirl and viscous losses, k p < 1. Based on the empirical data presented in Ref. [29] , a value of k p = 0.88 is used in this study.
The second contribution to lift, drag, and propulsive efficiency comprises the changes in uninstalled performance due to aerodynamic interaction between the propulsors and the airframe when these are integrated with each other. These "delta" terms depend on the geometry of the system, and vary with wing lift and propeller thrust. The aero-propulsive model used to estimate these terms is created using the numerical method outlined in Ref. [23] . The method combines a panel method to simulate the wing, a blade-element method adapted to non-uniform inflow, and a vortex-lattice method to compute the velocities induced by the slipstream on the wing. With this method, a single propeller above a high aspect-ratio rectangular wing is simulated. The superposed effect of multiple adjacent propellers is not considered, and the contributions of nacelles and ducts are neglected at this stage. The wing and propeller geometries are based on the wind-tunnel models used to validate the tool, and therefore do not represent an optimized OTW-propeller geometry. Although these simplifications limit the applicability of the model, it is considered accurate enough for the preliminary sizing phase.
The aero-propulsive model is evaluated for a range of thrust coefficients, wing angles-of-attack, and propellerdiameter to wing-chord ratios. The propeller position is kept at x p /c = 0.85, maintaining a fixed blade pitch and a clearance between the propeller disk and the wing surface equal to 1% of the wing chord. For each case, lift, pressure drag, and propulsive efficiency are computed. Based on wind-tunnel observations [23] , the change in friction drag on the wing is expected to be small, and is therefore neglected. Six thrust coefficients are evaluated (in the interval 0.01 ≤ T c ≤ 0.55), combined with eleven angle-of-attack values (0 o ≤ α ≤ 10 o ) and six diameter-to-chord ratios (0.2 ≤ D p /c ≤ 0.8), leading to a total of 396 sample points. For each combination of α and D p /c, a propeller-off simulation is carried out as well, in order to obtain "deltas" with respect to zero-thrust conditions. In order to decrease the runtime of the sizing method, a three-dimensional, fifth-order polynomial fit is applied to the lift and drag data. The polynomial coefficients are obtained using a linear least-squares algorithm, and the coefficient of determination of the resulting fit is verified to be R 2 > 0.99 in both cases. While the changes in lift coefficient ∆C L and drag coefficient ∆C D present a monotonic dependency on the three input variables, the change in propulsive efficiency ∆η p presents a non-monotonic dependency on thrust which cannot be accurately predicted with a polynomial fit. Hence, for ∆η p , a two-dimensional, third-order polynomial fit is applied in D/c and α (R 2 = 0.987), and the resulting value is interpolated linearly at the corresponding thrust coefficient. Figure 2 illustrates the changes in lift coefficient, drag coefficient, and propulsive efficiency for two generic thrust coefficients. The lift and drag coefficients are normalized with the wing reference area corresponding to the spanwise interval occupied by a single propeller, c · D p . Figure 2 shows that, at low thrust coefficients, the lift and drag of the wing present only a minor increase, while the propulsive efficiency is adversely affected. The propulsive-efficiency penalty increases with increasing wing lift coefficient due to increased supervelocities over the wing. This is partially compensated at low diameter-to-chord ratios due to a change in the effective angle-of-attack experienced by the propeller, leading to a slight increase in propulsive efficiency [23] . The results at higher thrust coefficients show that ∆C L increases with increasing thrust and diameter-to-chord ratio, while being fairly insensitive to the airframe lift coefficient. The variation in drag, on the other hand, can be either positive or negative, depending on the angle of attack of the wing and the propeller size. For low angles of attack (i.e., low airframe lift coefficients) and high D p /c values, the drag is reduced due to increased suction on the forwards-facing surface of the suction side of the airfoil. Finally, the propulsive efficiency penalty is lower at high thrust coefficients, since the relative impact of the wing on propeller performance is reduced. The thrust coefficient and lift-coefficient values for which the aero-propulsive model was generated are representative of the cruise, descent, and (majority of the) climb segments of the mission. However, in low speed conditions (take-off and landing), the required thrust and lift coefficients are higher, and the numerical model is not capable of providing an accurate estimation [23] . In these conditions, ∆C L , ∆C D , and ∆η p are limited to the values they obtain at the bounds of the surrogate model. This is considered a conservative approach, since the aero-propulsive benefits improve with increasing thrust coefficient. However, some studies indicate that the OTW propeller may adversely affect the maximum lift coefficient on the wing [30] . On the other hand, preliminary wind-tunnel tests suggest that inclining the propulsors for thrust vectoring may further increase lift and decrease drag without an appreciable propulsive efficiency penalty [23] . In general, this shows that there is a large amount of uncertainty regarding the maximum lift coefficient attainable with these systems. For this reason, a separate sensitivity analysis is carried out with respect to the assumed maximum lift coefficient in Sec. III.D.2.
C. Figures of Merit
Two figures of merit are used in this study to quantify the overall performance of the hybrid-electric aircraft. In most cases, these metrics are presented as a percentage change with respect to the reference aircraft. In this way, the areas where a hybrid-electric configuration outperforms conventional architectures can easily be identified. The first figure of merit is the maximum take-off mass (MTOM, or m TO ) of the aircraft. This parameter is often used for comparison in aircraft design studies, since it gives an indication of the "size" of the aircraft and has a direct impact on power requirements, energy requirements, production and maintenance costs, and the certification of the aircraft.
A second figure of merit is required that characterizes the energy consumption of the aircraft, which is tightly related to the costs of the fuel and electricity required to operate the system, as well as its emissions † . Several such metrics exist for conventional aircraft, such as the payload-range efficiency (PRE = W PL R/W f ) [31] , or the payload-fuel energy efficiency (PFEE = W PL R/E f ) [32] . Alternative metrics have also been used for hybrid-electric aircraft, such as the energy-specific air range (ESAR = dR/dE) [33] , the cost-specific air range (COSAR) [26] , or the productivity-specific energy consumption (PSEC = E/(m PL R)) [34] , where the energy consumed E includes both fuel and battery energy. However, when quantifying the overall "efficiency" of the aircraft in terms of energy consumption, only the energy consumed during the nominal mission must be considered, and not the reserves. Although the reserves affect the MTOM of the aircraft-and therefore, indirectly, the energy consumption-they do not directly define the energy consumed during its day-to-day operation. Given that the metrics found in literature are not directly applicable to hybrid-electric aircraft, do not consider the amount of payload carried, or do not take into account exclusively the energy consumed during the nominal mission, a new definition is proposed. This new figure of merit, the payload-range energy efficiency, is an adaption of the existing metrics and can be expressed as
that is, as the payload weight times the harmonic range of the aircraft and divided by the total energy consumed during the nominal mission (excluding reserves). This dimensionless parameter represents how many joules of "useful work", interpreted as the work required to displace a unit of payload over a unit of distance, are extracted per joule of energy consumed by the system. Note that this parameter can be larger than one, and should therefore not be interpreted as a thermal or mechanical efficiency η.
III. Results
The results are grouped into four sections. First, in Sec. III.A the conventional configuration is compared to reference aircraft data to verify that the assumed aircraft characteristics are reasonable, and to a baseline HEP variant. The baseline mission requirements correspond to those of a 70-passenger regional turboprop: the aircraft must have a harmonic range of R = 850 nmi with a 7500 kg payload, and a baseline cruise altitude and Mach number of 17,000 ft and 0.41, respectively. Sections III.B, III.C, Sec. III.D then analyze the sensitivity of the HEP design to different design parameters, mission requirements, and technology assumptions, respectively. In some cases, the optimum found in a sensitivity analysis is taken as starting point for subsequent analyses. Although this does not provide the optimum design, it ensures that insight is provided in the more relevant parts of the design space. Table 2 collects several top-level parameters of the conventional aircraft configuration and the baseline HEP configuration. Details regarding the selected design-parameter values and performance requirements can be found in Appendix A. The conventional configuration with current technology assumptions is compared to reference data of an ATR 72-600. The MTOM is underestimated by 2.5%, while the fuel energy is overestimated by 7%. These two characteristics are reduced by 6% and 23%, respectively, when evaluating the 2035-configuration. In this variant, only two modifications have been assumed. Firstly, the thermal efficiency of the gas turbine has been increased (see Table 1 ). Secondly, the design point corresponding to maximum wing loading has been selected, instead of a trade-off between maximum wing loading and maximum power loading, as reflected in Fig. 3a . This allows a fair comparison between the conventional and HEP architectures, since the point of maximum wing-loading led to an improved design, as discussed in Sec. III.B.1. In the following sections, the conventional architecture evaluated for the 2035 timeframe will be taken as the reference aircraft for comparison with the HEP variant. The design parameters selected for the baseline HEP concept are chosen manually without any prior knowledge of the optimal values. For the selected power-control variables (whose values can be found in Appendix A), the battery provides additional power during take-off. As a consequence, the power requirement for the gas turbine is reduced, and the take-off constraint is no longer its sizing constraint, as reflected in Fig. 3b . However, both the primary electrical machines (generators) and secondary electrical machines (electromotors) are sized for take-off conditions. Note that the one-engine-inoperative constraints do not influence the secondary electrical machines, since a total of 10 electromotors are used, and thus the failure of one of these elements does not constitute a limitation to the remaining nine. Furthermore, the maximum wing loading of the HEP concept is increased due to thrust vectoring and aero-propulsive interaction in landing conditions. Consequently, it presents a small increase in cruise lift-to-drag ratio when compared to the reference aircraft, as shown in Table 2 . Nevertheless, the hybrid-electric configuration is outperformed by the reference aircraft in terms of both MTOM and energy consumption. The main reasons for this are the increased weight due to the hybrid-electric powertrain components, and the reduced propulsive efficiency of the OTW propulsors in cruise conditions. 
A. Baseline Design

B. Sensitivity to Design Parameters
Design Point Selection
In the preliminary sizing process, the designer must choose a design point in the power-loading diagram. Due to the large weight contribution of the powertrain to MTOM in the case of HEP, a priori it was hypothesized that the design point for maximum power loading might lead to a lighter aircraft than the design point for maximum wing loading. This is, however, not the case, as shown in Fig. 4a . This figure shows that the top-right corner of the design space leads to the lightest aircraft. The point of maximum (gas turbine) power loading can be misleading in this sense, since the associated wing-loading value corresponds to a minimum gas-turbine size per unit weight of the aircraft, but not to the minimum electrical-machine size, as visible in Fig. 3b . For this aircraft, the point of minimum MTOM also corresponds to the point of maximum payload-range energy efficiency. The contours of PREE shown in Fig. 4 are more skewed than the MTOM contour lines, indicating that this parameter is relatively more sensitive to wing loading. This is a result of the direct effect of wing loading on aerodynamic efficiency and, consequently, on energy consumption. Although this design point has been identified as the optimal one in design studies of comparable HEP configurations as well [36] , this is evidently not always the case for hybrid-electric aircraft [37] . 
Distributed-Propulsion System Design Parameters
When designing an aircraft with distributed propulsion, some of the key parameters which must be selected are the number of DP-propulsors and their size. Since no clear design guidelines have been found in this regard, Fig. 5 presents the sensitivity of MTOM and PREE to the number of propulsors N, and the wing span-fraction covered ∆Y -which, together with N, determines the size of each propulsor. The figures of merit are presented as a percentage change with respect to the reference aircraft. The minor fluctuations visible in the bottom-right corner of the plots are attributed to the discontinuities in propulsor size, since N must be an integer.
From Fig. 5 it is evident that, within the intervals analyzed, the HEP concept is heavier and less efficient than the reference aircraft for all combinations of N and ∆Y . However, this penalty is severely increased for large values of N combined with low values of ∆Y , that is, for small propulsor sizes. For the baseline HEP concept, a shaft power ratio of ϕ = 0.5 is selected in all flight conditions except landing, and thus approximately half of the total thrust has to be distributed over a small total disk area in these conditions. This is detrimental for the isolated propulsors' efficiency, as indicated by Eq. 7. A reduction in propulsive efficiency is detrimental for energy consumption in cruise, but also has a large negative impact on powertrain weight in take-off conditions, where the electrical components are sized (see Fig. 3 ). Therefore, the results of Fig. 5 are not only dependent on the aero-propulsive model, but also on the selected power-control strategy. In any case, this figure highlights the importance of estimating the propulsive efficiency in the design process, instead of assuming a constant value. It is worth adding that, even though the bottom-right corner of Fig.  5 may seem beneficial, in practice this would lead to very large over-the-wing propulsors, which entails other drawbacks to which the preliminary-sizing phase is not sensitive.
A second characteristic of the DP system which is to be explored is the use of thrust vectoring. To this end, occur. Firstly, the wing area is reduced so much that the lift coefficient in cruise approaches, and then exceeds, the value corresponding to maximum L/D, thus decreasing the overall aircraft performance. This key consideration has to be taken into account when sizing a DP system, and will be discussed in more detail in the following sections. Secondly, the wing loading surpasses the intersection of the OEI-ceiling constraint with the take-off constraint in the gas-turbine power-loading diagram, and thus the weight of the gas turbine increases more rapidly with increasing wing loading. This can be seen in the constraint curves of Fig. 3b for W TO /S > 4.5 kN/m 2 . The same effect is responsible for the discontinuity in gradient at, e.g., (α p,TO ; α p,L ) = (40; 23): as the thrust-vectoring angle during take-off is increased past its optimum for a given α p,L , the take-off constraint descends in the gas-turbine power-loading diagram and starts limiting the size of the gas turbine.
Power-Control Strategy
For the first stages of the sizing process, the designer must choose a set of power-control parameters. Given the relatively large amount of design variables, and the fact that-as suggested in the previous section-these variables can have a decisive impact on the aircraft's design, an optimization could be the way forward. However, since the objective of this study is to understand the effect of the different variables, a design-of-experiments (DOE) is performed. For the SPPH architecture, three power-control parameters (Eqs. 1-3) have to be specified per performance constraint. For each of the six mission segments (climb, cruise, and descent of the nominal mission, plus diversion), a linear evolution of the these control parameters is assumed. Since in cruise conditions one of them has to remain free in order to satisfy the flight condition, this leads to a total of 49 variables. By assuming the same profiles for the nominal mission and the diversion, using the same strategy during take-off and second-segment climb, and fixing the gas-turbine throttle for determined flight phases (maximum throttle in take-off, engine-idle in descent, etc.), the number of variables is reduced to 19. A latin-hypercube sampling technique is used to distribute 15,000 sample points in the design space. An upper and lower bound are imposed on each variable, in order to avoid energy harvesting (ϕ < 0 or ϕ > 1) or samples which are known to lead to poor results (e.g., a large supplied power ratio during cruise). The values of these bounds can be found in Appendix A.
The results of the DOE in terms of MTOM and PREE are collected in Fig. 7a , with the colormap indicating the degree-of-hybridization (of energy) the design. Figure 7a Baseline HEP Reference
Fig. 7 Results obtained from the power-control-parameter DOE carried out for the baseline HEP concept (left), together with the results obtained when the supplied power ratio is set to zero for all constraints and mission segments (right).
power-control strategy is a driving factor in the design process, since a bad strategy may significantly over-size the aircraft (over 100 tons, in this case). Secondly, for a given PREE, the MTOM increases as the DOH increases. In other words, if the objective of a design is to minimize in-flight emissions, for example, then a slightly heavier aircraft carrying additional battery energy may be more beneficial. And thirdly, a lower DOH (i.e., low Φ values) leads to a lighter and more energy-efficient aircraft, as expected for the technology levels assumed. Inspection of the optimal point in terms of PREE revealed a similar strategy to the baseline configuration: the batteries are used during take-off and climb, and are charged during descent in order to keep enough energy in the batteries for a second take-off and climb in case of a diversion. Although this allows for a smaller gas turbine and a more efficient well-to-shaft energy transmission, the battery weight penalty outweighs these benefits. In a strict sense, however, this is not a fair comparison, since the potential benefit of improved gas-turbine efficiency through on-design sizing is not accounted for.
Based on the previous observations, a second DOE was carried out. In this case, all Φ values were set to zero, meaning that in essence a partial-turboelectric architecture was simulated. The results of this second DOE are plotted in Fig. 7b . As can be seen from the range of the axes, the MTOM and PREE obtained in this case are of the same order as the reference aircraft, although the HEP concept still performs worse than the reference even in the most ideal scenario. It is also evident that, while Fig. 7a suggests that the control variables were appropriately selected for the baseline configuration, Fig. 7b shows that there is still room for improvement. In order to understand the main reasons for these differences, Fig. 8 presents the control-variable values corresponding to the optimum point in terms of PREE for both DOE's. The most notable difference between the baseline strategy and the improved strategy obtained for the PTE case is a reduction of the shaft power ratio, especially in take-off and cruise. Although the DP system increases the lift-to-drag ratio for a given wing loading, it leads to an appreciable propulsive-efficiency penalty (see Fig. 2 ). Furthermore, additional power is lost when converting the shaft power of the gas turbine to electrical power, distributing it along the airframe, and converting it back to mechanical power. Thus, in theory, distributed propulsion can improve propulsive efficiency through a decrease in disk loading [18] , but this benefit can easily be counteracted by propulsive-efficiency penalties due to non-uniform inflow and losses in the components of the electrical system. For this reason, Fig. 8 suggests that the propulsive empennage should remain as the main source of thrust for all mission segments except during landing (ϕ ≈ 1). In landing conditions, a large fraction of the total thrust should be diverted to the DP system, in order to enhance wing lift and provide an additional vertical force through thrust vectoring. However, the total thrust during landing is generally low, since the aircraft must maintain its approach speed. Consequently, the powertrain components are not sized by power requirements during landing, and thus ξ GT and Φ were not varied in the DOE. 
C. Sensitivity to Mission Requirements
In this section, the performance of the HEP configuration is evaluated for a range of payload weights, harmonic ranges, and cruise Mach numbers. A distinction is made between evaluating the mission requirements at fixed altitude and at optimum altitude, in order to illustrate the importance of this design consideration. Two Mach numbers are considered: the cruise Mach number of the ATR 72 (M cr = 0.41), and a "high-speed" case (M cr = 0.6). For this sensitivity study, the best power-control strategy identified in the previous section is applied (i.e., no batteries are employed). Thus, during cruise, most thrust is generated by the propulsive empennage, and the propulsive efficiency is nearly constant. Furthermore, based on the findings of Sec. III.B.2, thrust vectoring angles of 10 o and 55 o are used in take-off and landing, respectively. Figure 9 presents the results of the payload-range sweep at the original cruise altitude of 17,000 ft. For each payload-range combination, ∆MTOM and ∆PREE are computed based on a HEP aircraft and a conventional aircraft which are both sized for the given mission requirements. Note that at M cr = 0.6 the sizing routine does not converge for R = 400 nmi, since the climb and descent phases exceed the nominal mission range. The same occurs for R > 1750 nmi, in this case because the powertrain is heavily over-sized, and consequently the aircraft presents a positive excess power during part of the descent phase, with the engine in idle conditions (ξ GT = 0.1). This problem could be mitigated by changing the power-control variables, but it is considered preferable to obtain the trends without an additional variation of these variables.
Sensitivity at a Fixed Cruise Altitude
With the newly selected design parameters, the HEP configuration presents a minor weight increase and PREE reduction for the baseline mission (M cr = 0.41, Figs. 9a and Figs. 9b) . However, the PREE improves with increasing range and, to a lesser extent, with increasing payload. The trend of PREE with range is attributed to an increased lift-todrag ratio in cruise of the HEP configuration ((L/D) cr ≈ 18.4) when compared to the reference aircraft ((L/D) cr ≈ 17.7). At M cr = 0.6 ( Figs. 9c and 9d) , the PREE gain is increased to nearly 12% with respect to the reference aircraft, and the sensitivity of MTOM to mission range is larger than for the M cr = 0.41 case. The flaw of this analysis becomes evident when comparing the lift-to-drag ratio of the reference and hybrid-electric aircraft, which attain values of approximately 10.9 and 12.6, respectively. The L/D benefit of the HEP configuration is larger in this case, and thus the sensitivity of ∆MTOM with respect to range increases. However, these L/D values clearly show that the combination of cruise altitude and Mach number are not adequate for the selected wing loading. In these conditions, the lift coefficient is significantly lower than the value corresponding to optimum L/D.
Sensitivity at Optimal Cruise Altitude
The payload-range maps are also evaluated at 45 equally spaced flight levels between 12,000 ft and 34,000 ft. The lower bound is equal to the OEI ceiling, while the upper bound corresponds to a typical cruise altitude for turbofan aircraft. For each payload-range combination, the optimum altitude in terms of PREE is selected for each aircraft. Thus, the two configurations are not necessarily sized at the same altitude. In this case, the results differ in trend and in value from the ones obtained at constant altitude, as can be observed in Fig. 10 . Figures 10a and 10b show that, at M cr = 0.41, the hybrid-electric variant is approximately 2.5% heavier than the reference, and presents a 2.5% lower payload-range energy efficiency. For the conventional configuration, the optimum cruise altitude increases from 19,000 ft at short harmonic ranges, to 24,000 ft at long harmonic ranges. For the HEP aircraft, the optimum cruise altitude increases from 15,000 ft at short harmonic ranges, to 20,000 ft at long harmonic ranges. The optimum altitude increases with harmonic range, because the efficiency gain during cruise offsets the increase in energy required to climb to that altitude. In general, the hybrid-electric aircraft has a lower optimum altitude than the reference, due to the increased wing loading enabled by DP. At their optimum altitude, both aircraft configurations have a comparable lift-to-drag ratio. Therefore, the fact that the PREE and MTOM penalties of the HEP configuration reduce with decreasing range is attributed its lower cruise altitude. For example, at 400 nmi range, the optimum cruise altitude of the HEP configuration is 4,000 ft lower than the conventional configuration, and thus it requires less energy for climbing.
At M cr = 0.6, the upper altitude bound was identified as optimum for both the reference and the HEP aircraft. At this flight speed, the weight and PREE penalties of the hybrid-electric configuration are greater than for M cr = 0.41. Surprisingly, the weight penalty is minimized for high payloads and short ranges, while the PREE penalty is minimized for high payloads and high ranges. In this case, the lift-to-drag ratio of the reference aircraft is approximately 17.7, while for the HEP variant it is approximately 18.3. Based on these L/D values, it appears that the HEP configuration operates near its optimum altitude, and for this reason, ∆PREE improves with increasing range. On one hand, this indicates that additional altitudes must be evaluated for a fair comparison. On the other, this also shows that, if the cruise altitude of the aircraft is restricted by air traffic regulations or other requirements, the use of HEP provides an additional degree-of-freedom which can be used to tailor the wing loading such that an optimal L/D is achieved in cruise.
The main characteristics of the improved HEP design, evaluated for the baseline mission (m PL = 7500 kg, R = 850 nmi, M cr = 0.41) at optimum altitude, are summarized in Table 3 . Additional variables can be found in Appendix A.
The results show a significant improvement with respect to the baseline design in all aspects except power loading, which is decreased. However, the HEP configuration is still outperformed by the reference aircraft, which is also evaluated at its optimum altitude. 
D. Sensitivity to Technology Assumptions
Powertrain Component Technology Levels
The results of Sec. III.B.3 show that the use of batteries is detrimental for both figures of merit for the assumed mission and aircraft layout. In order to assess whether this conclusion is highly dependent on the battery's characteristics, Fig.  11 presents the sensitivity of MTOM and PREE to the specific energy and specific power of the batteries at pack level. Both properties are varied between 50% and 300% of the baseline value reported in Table 1 . For this assessment, the baseline SPPH configuration was used. As expected, an improvement in battery technology leads to an appreciable reduction in MTOM and increase in PREE. However, even for the optimistic values of 3 kW/kg and 1500 Wh/kg, the concept performs worse than the one without batteries. For the baseline case, the battery mass is sized by power requirements, hence being insensitive to the assumed specific energy. In the top-left corners of Fig. 11 , on the other hand, the battery mass is sized by energy requirements, and is therefore insensitive to specific power. The curve defined by the loci points on the response map that present a discontinuity in gradient (i.e, at the kink of the contour lines) delimits these two regions. The location of this limit depends on the chosen power-control strategy. Modifying the power-control strategy such that the design point ends up on this discontinuity means that the full potential of the battery is used in terms of both energy and power. Logically, this simple distinction is an artifact of assuming constant battery properties at pack level. For a more accurate result, a battery model is required. With an appropriate design of the battery, the trade-off between energy requirements and power requirement can be tailored for the specific design, and in that case the response maps would no longer present these two clearly distinguishable regions. In second place, the sensitivity of MTOM and PREE to the weight and efficiency of the electrical components of the powertrain (excluding batteries) is assessed. Since this comprises multiple elements (electrical machines, converters, and additional PMAD components), the specific power and efficiency of these elements is varied simultaneously. In order to provide the sensitivity at a relevant point in the design space, the PTE configuration obtained from the DOE is analyzed. For illustration purposes, a combined specific power (CSP) is defined for the PTE architecture as
where n is the number electrical components through which the power flows, and SP i the specific power of the component i. For example, for the baseline case, CSP = (1/1.3) · (1/19 + 1/13 + 1/13 + 1/19) −1 = 2.97 kW/kg. For simplicity, the CSP can be interpreted as the power produced by the electrical system divided by the total electrical-system weight ‡ . Analogously, a chain efficiency is defined as the product of efficiencies of all the components in the electrical system, which in the simplified PTE model are connected in series. For example, the baseline chain efficiency is η 2 EM · η 2 converter · η PMAD = 0.91. In other words, an overall improvement in the technology levels of the electrical powertrain components is simulated by simultaneously improving all components by an equal amount, and is quantified altogether using the CSP and chain efficiency.
The resulting sensitivities are reflected in Fig. 12 . Although both MTOM and PREE improve with increasing CSP or chain efficiency, PREE is more sensitive to the latter than MTOM is. In baseline conditions, the HEP aircraft presents a MTOM and PREE comparable to the reference, since this analysis is carried out at the original cruise altitude. The PREE benefit increases up to 6% if the CSP of the system is tripled, and the losses approach zero. In these conditions, the MTOM of the HEP aircraft is also 4% lower than the reference aircraft. 
Low-Speed Aerodynamic Performance
The performance predictions of the aero-propulsive model are incorrect in low-speed conditions, as discussed in Sec. II.B. To analyze what impact this has on the aircraft, Fig. 13 presents the change in MTOM and PREE as a function of the increase in maximum-lift coefficient due to aero-propulsive interaction, in take-off and landing conditions. This figure shows that the lift benefit during take-off is small in baseline conditions, since the shaft-power ratio during take-off is low (see Fig. 8 ). Two discontinuities in gradient can also be seen in Fig. 13 . When increasing ∆C Lmax,TO at constant ∆C Lmax,L , the take-off constraint rises in the gas-turbine power-loading diagram until, at the first discontinuity, it stops limiting the gas-turbine size. If ∆C Lmax,TO is further increased, eventually the total shaft power required from the propulsive empennage starts being limited by the OEI second-segment climb constraint instead of the take-off constraint, leading to the second discontinuity. A more counterintuitive observation in Fig. 13 , however, is that an increase in C Lmax generally does not improve the design. The reason for this is that, based on the findings of Sec. III.B.2, the PTE configuration already employs TV angles which lead to an optimal wing loading. In this case, if for example ∆C Lmax,L is increased significantly, the lift-to-drag ratio in cruise may increase slightly due to increased wing loading, but the gas-turbine power-loading is reduced, and consequently the aircraft weight increases. From this it can be concluded that, as long as the TV system is capable of producing enough vertical force, the enhancement of C Lmax due to aero-propulsive interaction affects the optimum TV angle, but does not directly benefit the design. If, however, the thrust-vectoring angle is limited by, for example, structural or stability constraints, then an increase in C Lmax can be beneficial. It should be noted that the drag coefficient in low-speed conditions can also have an appreciable impact on the design. During take-off, a decrease in drag would lead to a reduction of the required take-off power, which sizes most components. During landing, an increase in drag would increase the thrust required to maintain a determined approach speed. This would, in turn, increase ∆C L and the effect of thrust vectoring, and therefore the maximum wing loading would be increased. However, the take-off constraint is evaluated using the take-off parameter [27] , which is not sensitive to the drag coefficient. The effect of an increase in maximum wing loading, on the other hand, is already evident in Fig.  13 . Hence, no sensitivity study was carried out with respect to the drag coefficient in low speed conditions.
IV. Discussion & Conclusions
In this study, a preliminary sizing method has been used to analyze the sensitivity of a hybrid-electric aircraft configuration to a series of design parameters, mission requirements, and technology assumptions. Although literature suggests that hybrid-electric propulsion (HEP) can lead to significant improvements in terms of energy consumption and environmental impact, the results evidence that several theoretical benefits at subsystem level do not necessarily lead to an improvement at aircraft level when the relevant dependencies are included in the sizing process. As an example, the payload-range energy efficiency of the best HEP configuration proposed in this study is still 2.5% lower than a conventional aircraft. Nevertheless, several important conclusions can be drawn based on the sensitivity analyses.
In first place, when designing a hybrid-electric aircraft, it must be compared to a conventional configuration sized for the same mission, and each concept must be evaluated at its optimum cruise altitude. Not doing so can lead to an overestimation of the HEP aircraft's benefits. In this study, a comparison at constant cruise altitude suggests that the HEP aircraft can present up to a 12% increase in payload-range energy efficiency. In cruise conditions, the optimal lift coefficient C L = (W/S)/(0.5ρv 2 ) is determined by the drag polar, and hence there is a trade-off between altitude (ρ = f (h)) and wing loading for a given Mach-number requirement. Since W TO /S is directly proportional to the maximum effective lift coefficient during landing, with distributed-propulsion (DP) it is easy to fine-tune the wing loading to its optimal value. In addition to a modification of the high lift devices, DP systems can increase the maximum lift through aero-propulsive interaction or by means of thrust vectoring. However, these efforts are in vain if the conventional configuration can attain an equally efficient C L in cruise by varying its altitude. In spite of this, there are at least three circumstances under which the increase in wing-loading enabled by DP may still be beneficial. The first occurs when the cruise altitude is fixed by, for example, air traffic regulations. The second corresponds to short harmonic ranges, when an appreciable amount of energy is consumed during the climb segment. In that case, the lower optimal altitude of the HEP aircraft is beneficial. And thirdly, when the maximum wingspan is limited by airport constraints, a HEP aircraft can carry more payload or employ a higher aspect-ratio wing. Furthermore, for the same aspect ratio and bending-relief effects, a smaller wing is less heavy.
The second main finding is related to the performance of the DP-system in cruise conditions. Previous studies indicated that, for the same wing loading and flight condition, DP can still provide a benefit through a reduction in disk loading or an increase in wing lift-to-drag ratio. However, the results show that the propulsive-efficiency penalty due to non-uniform inflow and the losses in the electrical powertrain components outweigh these benefits. This illustrates how an incorrect modeling of the aero-propulsive effects or an overestimation of the powertrain component efficiencies can lead to erroneous conclusions. In addition to this, sensitivity of the DP system's performance to design parameters such as the number of propulsors must be incorporated from the beginning of the sizing process, to avoid an over-prediction of the propulsive efficiency.
In third place, the sensitivity studies confirm that the power-control strategy has a large impact on both the constraint diagram and the mission analysis, and therefore affects practically all characteristics of the aircraft. The optimal control strategy is also highly dependent on the aero-propulsive interaction effects. For example, the design-of-experiments has shown that a low shaft power ratio (i.e., low thrust share of the DP-system) is better in cruise, due to the propulsive-efficiency penalty of the DP system. However, if this penalty could be reduced by properly re-designing the over-the-wing propulsors, then it may be more beneficial to maximize the shaft power ratio in cruise. For this, the improvement in lift-to-drag ratio and propulsive efficiency must exceed the losses in the powertrain components. Given that the chain efficiency of the powertrain's electrical components is 91% in this study, a small improvement in propulsive efficiency would not have a noticeable impact at aircraft level, since the DP system is not used in cruise. If, on the other hand, the propulsive efficiency increases sufficiently to offset this 9% penalty, then suddenly the design would become sensitive to its value. In that case, the increase in aero-propulsive efficiency would not only affect the optimal control strategy, but also the optimum mission. This interconnection between different aspects of the sizing process highlights the importance of analyzing the power-control strategy early in the design process.
Based on these findings, it becomes evident that the proposed concept can only constitute a competitive alternative if several components are improved. Most importantly, the propulsive efficiency of the DP-system must be increased by correctly designing the distributed-propulsion system. Given that the current aero-propulsive model is based on a single over-the-wing propeller with fixed blade pitch, it is likely that the propulsive efficiency can be significantly improved by modifying the blade design and pitch. Furthermore, an optimization of the wing profile and the incorporation of a duct could further improve system performance. Based on the payload-range sweeps, it appears that a concept featuring such a propulsion system could present appreciable advantages for higher payloads, and possibly for longer ranges. Furthermore, the noise emissions must be assessed, to verify whether this configuration could indeed present a low-noise alternative to conventional turboprop aircraft in the future. [-] 0.62 Root thickness-to-chord ratio [-] 0.18 N o of primary propulsors, N 1 [-] 2 N o of secondary propulsors * , N 2 [-] 10 DP span fraction * , ∆Y [-] 0.5 Spacing between DP propulsors * [-] 0.01 Axial position of DP propulsors * , x p /c [-] 0.85 
